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ABSTRACT: The current practice for designing/analysing reinforced slopes/walls is to use empirical or semi-
empirical methods to estimate the maximum reinforcement loads using different variations of tributary area
methods. As the soil-reinforcement interaction is not explicitly captured in these methods, this paper presents a
new analytical method, named Soil Reinforcement Interaction (SRI) model, to perform conventional internal
stability checks for reinforced walls/slopes. As a part of derivation of this method, a more refined non-linear
interface friction model was introduced, which accounts for the increased in friction from soil dilation and
subsequent reduction in friction with displacement. By combining the interface friction model and stress-strain
behaviour of the reinforcement, an analytical model was developed to link the displacement, strain/force and
mobilized frictional length. The model is capable of computing the wall deformations and connection loads which
are not readily obtainable from other methods. In this paper, several pullout tests and a full-scale reinforced wall
were modelled using this method. The paper also discusses the use of this method to explain/quantify the impact
of toe resistance and facing-stiffness on the reinforcement load.

Introduction

The use of soil reinforcing for modern retaining wall
construction has come a long way and gained
popularity since it was pioneered by French architect
and engineer Henri Vidal in the 1960s. These
reinforced earth structures are extensively used
mainly due to lower cost and other associated
advantages. In essence, in these structures, the
interaction between soil and reinforcement creates a
composite soil mass with an equivalent shear
resistance significantly higher than that generated
from soil alone.

For assessing the internal stability of these
reinforced slopes/walls, the current practice is to
perform checks for tensile rupture, pullout of
reinforcement and connection failure. In order to
perform these computations, several empirical or
semi-empirical approaches design methods such as
Coherent Gravity (AASHTO, 1996), FHWA Structure
Stiffness (Christopher et al., 1990), Simplified method
(AASHTO 2002, Elias et al. 2001) and K-Stiffness
method (Bathurst et al. 2008; Allen and Bathurst
2003) have been developed. In these methods, the
maximum tensile force in each reinforcement (Pmax)
is determined using the tributary area method, as
follows:

[1]
ܲ݉ ܽݔ = ܭ ݒߪ ܵݒ

where K is the lateral earth pressure coefficient, is
vertical spacing between reinforcements and is
vertical effective stress at reinforcement level. The K
is empirically determined by matching the pullout
resistance measured in field or laboratory tests.

Once the maximum tensile force in each
reinforcement is known, the mobilized length of the
reinforcement (x) is obtained from the following
equation:

[2]

=ݔ
ܲ݉ ܽݔ

ܴܿܥݒߪߙ∗ܨ

where C is a factor that accounts for the
reinforcement surface area, Rc is the reinforcement
coverage ratio, is a scale effect correction factor
and is the pullout resistance factor. Preferably,
both and shall be determined from pullout tests.

Although the risk of tensile rupture and pullout
can be determined using equations [1] and [2], it
does not provide the reinforcement load at facing to



estimate the risk of connection failure. As discussed
later in this paper, the soil-reinforcement interaction is
also expected to be more complex than that
represented by equations [1] and [2] because of the
nonlinear interface friction behaviour. For example, in
extensible reinforcements, pullout tests have shown
that the frictional resistance will develop progressively
as the displacement increases, which depends on the
thickness, stiffness and stress–strain behaviour of
the reinforcement. Therefore, in the absence of a
proper framework to capture the soil-reinforcement
interaction, it is impossible to expect and alone
do not capture the complex soil-reinforcement
interaction at each reinforcement level.

Although, analytical models can be developed to
capture the actual soil-reinforcement interaction,
these approaches have not been used in the past
due to complexity of the solution (Leshchinsky 2009).
Therefore, in order to determine the load distribution
along the reinforcements or at the facing, finite
element or finite difference approaches have been
used.

To overcome the above limitations and reduce
the degree of empiricisms in the current state of
practice, this paper presents an alternative design
approach named “Soil-Reinforcement Interaction
(SRI)” model. By capturing the actual soil-
reinforcement interaction, this model is expected to
provide a robust framework to relate deformation of
the reinforcement, strain (or forces) and mobilized
length along the reinforcement. The strains and
forces estimated from this method are used to
assess the risk of tensile rupture. The mobilized
length can be used as an indicator to assess the risk
of pullout failure. The wall deformation, which is not
obtainable using the current approaches, is useful for
examining the state of the wall from a serviceability
point of view.

The development of the analytical method can be
broadly categorized into two steps:
(i) Developing an analytical model to capture the

soil-reinforcement interaction of each
reinforcements (called as “SRI Local model”),
and

(ii) Incorporating this model to analyse the internal
stability of a reinforced soil mass (“SRI Global
model”).

The derivation of these models are discussed in
the following sections.

SRI Local model

Weerasekara and Wijewickreme (2010) presented a
new analytical method to model the soil-geotextile
interaction of a pullout test. The method accounts for
the non-linear stress-strain response of geosynthetic

reinforcements by using a hyperbolic stress-strain
model. The model can also be extended to include
the strain rate dependency, as explained by
Weerasekara (2011). The model was validated by
modelling over 25 pullout tests conducted by 7
different researchers.

Although this model can be implemented using
spreadsheets, the equations associated with this
model are considered somewhat complex for routine
engineering applications. Therefore, a simplified
formulation is presented in this paper by considering
a linear stress-strain response for the reinforcement.
For design purposes, the maximum strain in
polymeric reinforcements is limited to 3 to 5% or less,
such that risk of creep rupture is minimized. At this
strain level, the stress-strain behaviour can be
approximated using a linear relationship, thus the
error associated with this simplification is relatively
small as shown later in this paper. The main
advantage of this simplification is that the closed-
form solution obtained from this approach can be
easily implemented using spreadsheets or hand-
calculations.

The formulation of the SRI Local model consists
of two steps:
(i) Develop an interface friction model; and
(ii) Combine the interface friction model with stress-

strain response of the reinforcement to derive the
SRI Local model.

The friction at the soil-reinforcement interface per
unit length (T) is typically expressed in the following
simplistic form (Jewel et al., 1984):

[3]

ܶ = 2 ݃′tan߮ߛܾܪ

where b is the width of the geotextile, H is the burial
depth of the geotextile,  is the unit weight of the soil
overburden, and is the soil-reinforcement
interface friction angle. As further discussed below,
the simplicity of equation [3] arises primarily because
the equation does not account for some key
phenomena such as the (i) increase in friction from
constrained soil dilation and (ii) reduction in friction at
large displacements.

When a soil reinforcement is subject to pullout,
shear-induced volumetric expansion (i.e. dilation) of
soil particles will occur within a relatively thin shear
zone at the interface. This outward expansion of the
shear zone is constrained by the surrounding soil
mass, in turn, causing an increase of the normal
stress on the reinforcement (Schlosser and Elias
1978, Ingold 1982). Weerasekara and Wijewickreme
(2010) proposed an interface friction model which
accounts for the increase friction from soil dilation



and subsequent frictional degradation. This interface
friction model is schematically shown in Fig. 1.

In this model, the peak interface friction, T1 is
influenced by the increase in normal soil load caused
by soil dilation (Δσd). This can be obtained using the
approach proposed by Wang and Richwien (2002) for
planar objects, in which Δσd is expressed in terms of
Poisson’s ratio of soil (), average shear stress along
the surface ( ), lateral earth pressure at rest (K0) and
peak angle of dilation ( ) as follows:

[4]

݀ߪ∆ =
(ݒ+1)2

(0ܭ2+1)(ݒ1−2)
߬tan݉ ܽݔ

In addition, the shear stress arising from friction ( )
can also be written as:

Fig. 1. Proposed interface friction model

[5]

߬= +ߛܪ) ݀ߪ∆ ) tan߮′݃

From equations [4] and [5], the peak interface
frictional resistance per unit length (T1) can be
derived in the following form:

[6]

The amount of soil dilation will also depend on the
mean effective stress. This aspect is included in the
interface friction model using the stress-dilatancy
framework proposed by Bolton (1986) which links the
relative dilatancy index (IR) and the mean effective
stress σ’ in the following format:  

[7]
ܴܫ = ܳ)ܦܫ + lnߪ′) − ܴ

Where ID is the relative density, and Q and R are
constants that depend on the type of soil. If R is set
equal to 1, Chakraborty and Salgado (2010)
proposed the following relationship to calculate Q at
different overburden stresses under plane strain
conditions:

[8]
Q = 7.1 + 0.75 ln ′ߪ

Chakraborty and Salgado (2010) also proposed the
following relationship between the peak and constant
volume friction angles (i.e. and ) for both
triaxial and plane strain conditions:

[9]


݉ ܽݔ

= ߮′݉ ܽݔ − ߮′ ܿݒ = 3.8 ܴܫ

Substituting equations [7] and [8] on [9], the following
relationship is obtained for the peak dilation angle.

[10]
tan

݉ ܽݔ
= tan[3.87.1)ܦܫ− 0.25݈݊ (′ߪ − 3.8]

Above equation is then substituted in equation [6]
to obtain the complete relationship for the maximum
frictional resistance.

This frictional resistance developed from soil
dilation is expected to decrease gradually with the
increase in displacement due to particle wear and
tear, which is termed frictional degradation in this
paper. This is an important consideration for
extensible reinforcements, in which different sections
of the reinforcements will experience different
magnitudes of friction due to the progressive
development of friction along the reinforcement. For
example in a pullout test, a reinforcement in the
vicinity of the end being pulled will be subject to a
larger displacement than those closer to the trailing
end. Therefore, it is unreasonable to attribute the
peak frictional forces to those portions of the
reinforcement that have already experienced large
displacements.



In the interface friction model shown in Fig 1, the
soil dilation becomes negligible at a displacement of

. At this displacement, the interface friction per unit
length (T2) is given by the following equation:

[11]
2ܶ = 2 ݃′tan߮ߛܾܪ

Once the interface frictional behaviour is known,
the analytical solution to account for the interaction at
each reinforcement (i.e., SRI Local model) can be
developed. By considering the force equilibrium at
element level, the following generalized second-order
differential equation is obtained. In this equation,
is the interface friction that varies with displacement
as schematically shown in Fig 1.

[12]

݀

ݔ݀
ඌJݎ൬

ݑ݀

ݔ݀
൰ඐ= T(u)

In this equation, Jr is the stiffness of the
reinforcement which is equal to modulus of the
reinforcement multiplied by the area. Typically, this is
obtained from standard wide-width tensile tests
(ASTM D 4595 or D 6637) and given per unit length
with units of kN/m. Note that in equation [12], Jr has
units of force which is consistent with modulus
multiplied by cross sectional area. The solutions for
the three different zones are presented in the
following section.

By integrating the second order differential
equation, the following solution is obtained for
displacement in Zone 1 (u1):

[13]

where, and are constants, and .

Typically, the peak dilation is mobilized at a relatively
smaller displacement, such that generally ranges
from about 0.5 to 2.0 mm. This displacement
corresponding to the peak dilation depends on the
roughness of the surface, normal stress, size and
shape of the soil particles. For example, in smooth
surfaces and at low overburden stresses, the peak
dilation is mobilized at a smaller displacement (Hong
et al. 2003). The selected magnitude of is less
important for extensible reinforcements since the
deformation of the wall/slope is typically expected to
be much larger than .

The strain in the reinforcement ( ) is obtained by
differentiating equation [13], as follows:

[14]
ε1 = 1C1ߣ

−ݔ1݁ߣ 1C′1ߣ
ݔ1ߣ݁−

For Zone 2 ( >u> ), the interface frictional force
can be written in the following format such that a

simplified solution can be obtained:

[15]
(ݑ)ܶ = ݎܬ −ߚ) (ݑߙ

where,

ߙ =
( 1ܶ− 2ܶ)

−2തതതݑ)ݎܬ (1തതതݑ
and

ߚ =
1ܶ + 1തതതݑݎܬߙ

ݎܬ

Note that in the above equation is different from the
scale effect correction factor discussed in equation
[2]. Using these relationships, the displacement and
strain of reinforcement sections belonging to Zone 2
are obtained as follows:

[16]
2ݑ = C2ݔߙ√ݏܥ+ C′2ܵ݅ +ݔߙ√݊ ߚ/ߙ

[17]
ε2 = +ݔߙ√ݏܥC2ߙ√ C′2ܵ݅ߙ√ ݔߙ√݊

where C2 and C΄2 are constants, and .

The displacement at which the impact of soil dilation
becomes negligible (i.e., ) is typically obtained from
experimental observations. For example, Scarpillai
and Wood (1982) observed that soil dilation will
become negligible when the displacement exceeds
about 100 times d50 (average grain size of the soil).
Stone and Muir Wood (1992) and Vardoulakis et al.
(1981) stated that this displacement to be about 176
and 120 times d50, respectively. For typical
geosynthetic reinforced slopes/walls, the results are
less sensitive to this displacement. Therefore, in the
absence of specific details on backfill soil, was
assumed to be 150 mm in the case histories
discussed later in this paper.

Similarly for Zone 3, the following solutions are
obtained for displacement and strain:

[18]

u3 = ݔ2ܶ
2

ݎܬ2
+ C3ݔ+ 3′ܥ

[19]

ε3 =
ݔ2ܶ

ݎܬ
+ C3

Boundary conditions (SRI Local model)

The six unknowns in equations [13], [14], [16]
through [19] can be determined using the following
boundary conditions which assure the strain and
displacement compatibility.



(i) For Zone 1, when x → (or significantly far away

from x = 0), ε1 = 0, and x = 0, u = ; then

= 0 and =

(ii) At the boundary between Zones 1 and 2 (x = 0), u2

= , and = , then

C2 = −1തതതݑ
ߚ

ߙ

C′2 =
ε1ഥ

ߙ√

(iii) At the boundary between Zones 2 and 3 (x = ),
u3 = , and ; then

C3 = ε2ഥ −
̅ݔ2ܶ

ݎܬ

3′ܥ = −2തതതݑ ε2ഥ̅ݔ+
̅ݔ2ܶ

2

ݎܬ2

By substituting these unknowns in equations [13],
[14] and [16] through [19], the following governing
equations of the SRI Local model can be obtained.

[20]
u1 = 1തതത݁ݑ

ݔ1ߣ

[21]
ε1 = 1ߣ 1തതത݁ݑ

ݔ1ߣ

[23]

2ݑ = ቀ1ݑതതത−
ߚ

ߙ
ቁݔߙ√ݏܥ+ ቀ

ε1തതത

ߙ√
ቁܵ݅ +ݔߙ√݊ ߚ/ߙ

[24]

ε2 = ቀ
ߚ

ߙ√
− 1തതതቁܵ݅ݑߙ√ +ݔߙ√݊ ε1ഥC′2ݔߙ√ݏܥ

[25]

u3 = ݔ2ܶ
2

ݎܬ2
+ ቀε2ഥ − ̅ݔ2ܶ

ݎܬ
ቁݔ+ ቀ2ݑതതത− ε2ഥ̅ݔ+ ̅ݔ2ܶ

2

ݎܬ2
ቁ

[26]

ε3 =
ݔ2ܶ

ݎܬ
+ ൬ε2ഥ −

̅ݔ2ܶ

ݎܬ
൰

Knowing the strain, the force in the reinforcement
(P) can be obtained as follows for the three zones:

[27]
ܲ = ݎܬ × ε

The proposed analytical approach provides a
framework to relate displacement, strain, force and
the mobilized frictional length along the

reinforcement. With the knowledge of any single
parameter, the remaining three parameters can be
obtained from these equations.

Simulation of pullout tests using SRI Local model

Prior to using this model for analysing/designing full-
scale reinforced slopes/walls, the SRI Local model
was validated by modelling several pullout tests.
Considering the space limitations, only two sets of
pullout tests conducted by Racana et al (2003) and
Farrag et al. (1992) are discussed in this paper.

Racana et al. (2003) performed five pullout tests
on non-woven polyester geotextiles at five different
overburden stresses. All tests were conducted on
0.09 m wide by 1 m long geotextiles. As the Jr value
corresponding to the applied pullout rate is not
known, the value of Jr was varied until a good
agreement was obtained for one pullout test.
Afterwards, the pullout response of the remaining
four tests were obtained by changing only the
overburden stress. The key model input parameters
are given in Table 1 and the model predictions using
SRI Local model are shown in Fig. 2.

Fig. 2 also shows the pullout responses obtained
using the model developed by Weerasekara and
Wijewickreme (2010), which accounts for the non-
linear stress-strain response of the reinforcement. As
expected, a better agreement is obtained using the
non-linear model compared to the linear model used
in the SRI Local model. In particular, the linear
stress-strain model overpredicts the pullout
resistance/strain at larger displacements.
Nevertheless, this error is negligible for typical
designs in which strain levels are intentionally limited
to less than 3 to 5%.

Table 1: Input parameters for the SRI model

Input

parameter

Racana et al.

(2003)

Farrag et al.

(1992)

Algonquin

wall

(deg) 36 36 43

(deg) 21 16 16

(kN/m) 250 1200 350

0.42 0.42 0.32

0.30 0.30 0.20

0.80 0.60 0.95

(kPa) 2.8 to 27.8 48 Varies

The interface friction model given in [6] is not
directly applicable for geogrids as the formulation
does not account for the additional pullout resistance
from the transverse grid members. However, as
demonstrated in the following section, for thin and
closely spaced transverse members, this resistance
from transverse members can be approximated by
altering the interface friction angle.



Fig. 2: Pullout resistance versus displacement relationships
obtained from the linear stress-strain model (i.e., SRI
Local model), Weerasekara and Weerasekara (2010)
model and from pullout tests performed by Racana et al.
(2003).

Farrag et al. (1992) performed a number of pullout
tests on Tensar SR-2 geogrids. For this paper, only
two pullout tests conducted using 0.9 m and 0.45 m
long geogrids are considered. In both tests, width of
the geogrid was 0.3 m and vertical stress was
48 kPa. From the wide width tensile tests conducted
at a strain rate of 10%/min, Jr corresponding to 2%
strain was reported as 980 kN/m (Allen et al. 2003).
For the given pulling rate, the strain rate was
iteratively estimated to be about 65 %/min, which is
more than six times faster than that of a wide width
tensile test. Considering the higher strain rate, Jr of
1200 kN/m was selected for modelling the response
of the pullout tests. Afterwards, the interface friction
angle was altered to match the measured pullout
response. The model input parameters are given in
Table 1, and Fig. 3 shows the model predictions and
actual test results for the two tests.

These pullout tests was conducted at a rate of
6.3 mm/min (i.e., 0.25 in/min). As reported by Farrag
et al. (1992), the trailing end of the 0.9 m long geogrid
started to move after 100 secs, which corresponds to
about 10.5 mm of displacement at the pulling end. At
this displacement, the maximum pullout resistance is
about 11 kN and estimated strain is 3%. It is
important to note that at the free end, at a distance of
0.9 m from the pulling end, the pullout resistance and
strain should be equal to zero. This also
demonstrates the difficulties in placing strain
measuring devices in full-scale walls to capture the
maximum strain due to non-uniform strain variations
expected along the reinforcement. The variations in
strain and displacement along the reinforcement,
estimated from the SRI Local model, for a mobilized

length of 0.9 m are shown on Fig. 4. The strain
obtained from this method is for a reinforcement
having a uniform stiffness along its entire length,
however for geogrids, the strain is expected to vary
depending on the cross-sectional area.

Fig. 3: Pullout resistance versus displacement relationships
obtained from the SRI Local model and from pullout tests
performed by Farrag et al. (1992).

Fig. 4: Variations of strain and displacement along the
reinforcement obtained from the SRI Local model, for a
mobilized of 0.9 m.

In pullout tests, the direct continuous
measurement of the mobilized frictional length is
difficult. However, if the displacement of the trailing
end is measured (e.g., tests performed by Farrag et
al. (1992) on 0.9 m long geogrid), at the instance
when the trailing end starts to move, the mobilized
length should be equal to the buried length of the
reinforcement. Using this reasoning, the results from
the SRI Local model is shown up to the point at which
the mobilized length is equal to the reinforcement



length. As demonstrated in Fig 3, this point is in close
agreement with the actual pullout test results at which
the trailing end begins to move. This demonstrates
that SRI Local model is able to capture not only the
displacement and force/strain, but also the mobilized
length along a reinforcement with reasonable
accuracy.

SRI Global model

The main intent of the SRI Global model is to perform
the conventional internal stability checks for
reinforced soil mass using the SRI Local model. In
this approach, the Rankine theory is used to estimate
the horizontal soil loading and failure wedge. As
demonstrated by Chang (1997), the displacement
required to mobilize the active conditions will range
from 0.0003H to 0.0005H for both rotational and
translational forms of movements, where H is the
height of the wall. In particular for extensible
geosynthetic reinforced wall/slopes, the wall
deformations are likely to exceed these threshold
displacement, thus it is reasonable to consider active
soil conditions for estimating the horizontal soil
loading. Furthermore, the soil loads and failure
planes are determined using the peak plane strain
friction angle instead of the triaxial, constant volume
or critical state friction angles (Rowe and Ho 1993;
Bathurst 1993).

The toe resistance is not explicitly considered in
some design methods, such as AASHTO and FHWA.
However, the magnitude of toe resistance will impact
the wall deformation shape. If the toe of the wall
facing is fully restrained from movement, the wall will
rotate about its base. However, if the toe resistance
is negligible, wall deformation is likely to be
translational. In reality, the toe resistance is neither
fully restrained nor unrestrained, therefore the total
wall deformation is a combination of translational and
rotational form of wall movements. In such instances,
the toe resistance can be represented as a spring
such that both translation and rotation movements
are considered. However, this aspect is not
discussed further in this paper.

Once the horizontal driving force is known, the
displacement of the wall is increased incrementally
such that total horizontal driving force (Fs) is equal to
the summation of the tensile forces developed in
each reinforcement. For a given displacement, the
force/strain and mobilized lengths are determined
using the SRI Local model. If the toe resistance is not
known, the moment equilibrium can be taken about
the base of the wall as follows:

[28]

Where, Pi and hi are maximum tensile force and
height to each reinforcement from the wall base,
respectively. Hs is height to the resultant horizontal
driving force measured from the base of the wall (see
Fig.5).

Boundary conditions (SRI Global model)

The approach for implementing the SRI Global model
may seem straight forward, however, the key aspect
of this approach is the proper use of boundary
conditions encountered in reinforced slopes/walls. As
schematically shown in Fig. 5, any reinforcement can
be categorized into the following four cases based on
the boundary conditions:

(i) No impact from boundary conditions (Case 1):
The mobilized length measured from the failure
surface is less than the distance to the wall facing
or to the free end. Therefore, the equations given
in the SRI Local model are directly applicable.

(ii) Free end of the reinforcement is mobilized (Case
2): In this case, the maximum pullout force is
obtained using the length L2 (<L1) and additional
increase in displacement would not result in
further increase in pullout resistance (see Fig. 5
for definitions of L2 and L1). Such conditions can
occur at shallower burial depths and in less
extensible reinforcements.

(iii) Resistance of the wall facing is mobilized (Case
3): The force in the reinforcement can be
estimated using the SRI Local model until the
mobilized length is equal to L1 (<L2). Beyond this
displacement, any increase in displacement ( )
will result in a net increase in tensile force ( ),
given by the following equation:

[29]

The tensile force in L1 is equal to the summation
of and tensile force obtained from the SRI
Local model. Typically, the rate of increase in
pullout resistance in this manner is greater than
the rate of increase in pullout resistance obtained
from the SRI Local model based on the
progressive friction development. If the wall
facing is not fully rigid, a smaller resistance will
develop at the reinforcement depending on the
rigidity of the facing. Therefore, to satisfy the
force equilibrium, the wall should deform more in
order to increase the tensile force in the



remaining reinforcements. Therefore, greater wall
displacement is expected in walls with flexible
facings which is consistent with observations by
other researchers (e.g., Bathurst et al. 2006).

(iv) Resistance of the wall facing and free length are
mobilized (Case 4): Initially, the wall facing
resistance is mobilized similar to Case 3. Further
increase in mobilized length will mobilize L2

length. When this occurs, pullout resistance will
be limited to the mobilized length L2, and pullout
resistance will not increase any further, similar to
Case 2 discussed previously.

Fig. 5: Different boundary conditions in a reinforced wall.

Modelling of full-scale reinforced wall

In order to limit the length of this paper, only one full-
scale geosynthetic reinforced wall was modelled
using the SRI model. For this example, HDPE
geogrid reinforced, precast concrete panel wall
constructed in Algonquin, Illinois as part of a FHWA
study was selected. The wall was instrumented with
strain and displacement measuring devices, and the
data collected from this experiment has been used in
several analytical and numerical studies (e.g., Lee
2000; Adib et al. 1990, Christopher 1998).

The wall was 6.1 m in height, and includes a
2.1 m high surcharge, inclined at 1.5H:1V. The wall
was reinforced with eight layers of Tensar SR-2
HDPE geogrids at 0.76 m vertical spacing. The
details of the pullout tests performed on the same
geogrid were discussed previously as a part of the
SRI Local model validation. The wall was monitored
for two years after construction, and the maximum
measured strain was less than 1%, (Christopher

1998). The construction duration was reported as
920 hrs. As the displacement measured near the wall
base is very small, it was assumed that the toe is fully
restrained. Thus, the wall rotation was incrementally
increased, until equilibrium was satisfied. The input
parameters selected for modelling the Algonquin wall
are shown in Table 1, and the maximum strains
obtained from this approach are shown in Fig 6 for
each reinforcement layer.

Fig. 6: Estimated and measured strain distributions in each
reinforcement.

With respect to the selection of input parameters,
the largest uncertainty is related to estimating the
geogrid stiffness corresponding to the strain rate that
is likely to experience during construction. For the
calibration of the K-Stiffness method, Allen et al.
(2003) has selected a Jr of 500 kN/m for this wall,
corresponding to 2% strain. However, as the
estimated strain is larger than 2% (see Fig. 6), it is
reasonable to select a smaller Jr value to account for
the nonlinearity of the stress-strain response at a
larger strain level. To account for this uncertainty,
Figs. 7 and 8, shows the wall displacements and



maximum strains estimated for three different
stiffness values (i.e., Jr = 150, 350, 500 kN/m). Jr of
350 kN/m was selected as the best-estimate.

The wall displacements measured using
conventional surveying and inclinometers are about
20 to 30 mm at the top of the wall, which is larger
than the wall displacements estimated from the SRI
model (note that the accuracy of displacement
measurement is about ±10 mm). Besides the
potential overestimation of reinforcement stiffness,
several other factors could lead to the
underestimation of the wall displacement. During wall
construction, it is difficult to completely eliminate the
wrinkles in the geogrids, which could later lead to
permanent wall deformations without contributing to
the development of tensile force in the reinforcement.
In this assessment, for simplicity the horizontal
driving force did not include the compaction induce
stress which will increase in wall deformation and
strain.

Fig. 7: Wall displacements estimated from the SRI model
for different reinforcement stiffness values.

Load distribution in walls

Unlike other design methods, the proposed method
does not require the reinforcement load to be
predetermined. However, for comparison purposes,
the normalized force distributions obtained from the
SRI Model are compared against AASHTO and K-
Stiffness methods in Figs. 9 and 10 for extensible
and inextensible reinforcements, respectively. For
this purpose, the Algonquin wall discussed in the
previous section was selected. Fig. 9 also shows the
load distribution for a flexible geotextile reinforced
wall for various degrees of rotational and translational
movements. When the toe is fully restrained, the load
distribution is approximately similar to the trapezoidal

load distribution considered for the development of
the original version of K-stiffness method (Allen et al.
2003). However, if the toe is not restrained, a
triangular force distribution is obtained from the SRI
approach with the largest reinforcement load
occurring at the base of the wall. Similar observations
related to the toe resistance were observed in
numerical (e.g., Huang et al. 2010), analytical (e.g.,
Leshchinsky and Vahedifard, 2009) and experimental
(e.g., Ehrlich and Mirmoradi, 2013) studies.

Fig. 8: Maximum strains estimated using the SRI model
for different reinforcement stiffness values.

For demonstration purposes, if the reinforcement
stiffness is increased such that it matches the
stiffness of steel (other parameters remain the
same), the load distributions obtained for the
translation and rotational deformations are shown in
Fig 10 for inextensible reinforcements. Irrespective of
the deformation shape, the load distribution is
triangular and consistent with the load distributions
reported in other design methods (e.g., AASHTO). In
this case, the load distribution is independent of
deformed shape because the tensile force developed
in the steel reinforcements is governed by the pullout
resistance generated along length L2 (Case 2 or
Case 4 boundary conditions). This is expected since
the higher reinforcement stiffness requires only a
small displacement to mobilize the full friction along
the reinforcement and the maximum load on the
reinforcement is equal to the interface friction
developed along L2 length. This example also
demonstrates the limitations of using a
predetermined force distribution since the maximum
force in the reinforcement is dependent on the soil-



reinforcement interaction and boundary conditions.
The proposed approach can be applied to walls
reinforced with inextensible reinforcements, however
further details are not discussed to limit the length of
this paper.

Fig. 9: The normalized maximum force distribution for a
wall with extensible reinforcements.

Fig. 11 shows the estimated reinforcement loads
from AASHTO (2002), K-Stiffness (Bathurst et al.
2008) and SRI models. If the toe is not restrained, the
maximum reinforcement loads estimated using the
SRI model are not significantly different from the
loads estimated using the AASHTO method. In the
AASHTO approach, the reinforcement load was
estimated using the peak triaxial friction angle of 40
degrees, therefore a slightly higher reinforcement
load is predicted. However, if the toe is restrained,
the AASHTO method will significantly overestimate
the reinforcement load in the bottom reinforcements.

K-Stiffness method, which is calibrated using
field strain measurements, results in considerably
smaller reinforcement loads than the other two
approaches. Leschinsky (2009) also demonstrated
that the summation of reinforcement loads using the
K-Stiffness method is less than the horizontal driving
force estimated from classical earth pressure
theories. As demonstrated earlier, capturing the point
of maximum strain is a difficult task using discrete

strain measuring devices, especially when the
mobilized length is expected to be small.

Fig. 10: The normalized maximum force distribution for a
wall with inextensible reinforcements.

Conclusions

The proposed SRI method is different from the other
approaches in many aspects and has several
advantages. Most importantly, the method provides a
robust framework to relate displacement, strain/force
and mobilized length for both extensible and
inextensible reinforced wall/slopes.

The proposed SRI model can be implemented
using equations [6], [10] and [11] representing the
interface friction behaviour, equations [20] to [27]
representing the SRI Local model, and equation [28]
representing the SRI Global model.

The proposed analytical solution employs a more
refined interface friction model to overcome some of
the shortcomings in the other approaches.
Considering the increase in normal stress on the soil
reinforcement due to soil dilation, impact of mean
effective stress on soil dilation and frictional
degradation, the proposed analytical model
represents more realistic interface friction behaviour.
The interface friction is expected to provide a more
realistic results for steel strip reinforced walls in which
the performance is highly dependent on the interface
frictional characteristics. Based on logical reasoning,
it can be stated that if the pullout resistance is
computed without considering the frictional
degradation aspects, it will lead to an overestimation



of the pullout resistance. In a similar manner, if the
soil dilation is not accounted for, this will also lead to
underestimation of the pullout resistance.

Fig. 11: Maximum tensile forces estimated from the SRI
model, AASHTO (2002) model and K-Stiffness (Bathurst
et al. 2008) method.

Preferably for geogrids and steel wire meshes,
the proposed approach requires the equivalent
interface friction angle to be back-calculated from an
actual pullout test. However, this is not required for
geotextile or steel strip reinforced walls. All other
input variables associated with the analytical solution
have a physical meaning (i.e., not empirical) and
directly obtainable using independent experiments or
direct measurements. The method also allows the
facing stiffness and toe resistance to be included.
Furthermore, unlike current design methods, the
tensile force at the facing can be determined. Above
all, the proposed approach can be easily
implemented using spreadsheets or hand
calculations.
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